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 A B S T R A C T

The importance of the pressurizer for the control and safe operation of pressurized water reactors translates into 
the need to develop accurate dynamic models to simulate the response of this component in various scenarios. 
This study compares two modelling paradigms, classified into equilibrium and non-equilibrium approaches, 
implemented in the Modelica language. Specifically, the non-equilibrium version adopts a 1D modelling 
approach with a user-defined number of control volumes. The objective is to assess the prediction accuracy 
by comparing simulation results with experimental data. The analysis identifies the models’ applicability 
limits as well a relevant phenomena affecting the outcomes. Additionally, the investigation is extended to 
a Small Modular Reactor (SMR) pressurizer architecture, exploring the impact of its features and different 
control strategies to mitigate pressure fluctuations. The latter analysis represents an initial step towards the 
development of a SMR-driven integrated energy system simulator, which will encompass the most suitable 
pressurizer model. The outcomes of this work indicate that the equilibrium model is able to capture overall 
system dynamics despite its strong simplifying assumptions. As for the SMR pressurizer, the distinctive 
geometry affects the system’s response to the considered transients, resulting in the requirement of designing 
control strategies tailored to its characteristics.
1. Introduction

At present, Pressurized Water Reactors (PWR) are the most
widespread nuclear reactor technology, with approximately 73% (304 
out of 414) of reactors worldwide belonging to this family, as of 
2024 [1]. The pressurizer is one of the key components in ensuring the 
safe operation of these reactors by maintaining the primary coolant 
pressure within the allowed operational range and to accommodate 
density variation. Specifically, in PWRs, it is imperative to maintain the 
pressure sufficiently above the saturation pressure associated with the 
core outlet temperature, which represents the maximum temperature 
of the primary coolant. This critical requirement serves to prevent 
departure from nucleate boiling and ensure the continuous presence 
of the primary coolant in its liquid state throughout operation.

The pressurizer volume contains a lower liquid portion, while the 
upper head is filled with vapour. The interface between the two phases, 
i.e., the liquid level, varies throughout the operation in response to 
the coolant flow through the surge line, which connects the pressurizer 
volume to the hot leg of the nuclear reactor. According to the direction 
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of the primary coolant flow through the surge line, two types of 
processes can be identified. During insurges, the primary coolant flows 
from the hot leg into the pressurizer, leading to an expansion of the 
liquid region and subsequently an overall pressure increase due to 
compression of the vapour phase. Conversely, during outsurges, the 
mass flow rate leaves the pressurizer volume, resulting in a reduction 
of the liquid level. These operational conditions might be triggered 
by variations in the average core temperature, which translate into 
volume changes in the primary coolant [2]. In general, temperature 
variations may occur either due to variations in power generation in 
the core or due to differences in heat removal capabilities from the 
secondary side of the power plant, e.g., in loss-of-load transients [3]. 
As the temperature rises, the expansion of the overall primary coolant 
volume is accommodated in the pressurizer volume through the flow 
of coolant through the surge line. In contrast, a temperature decrease 
leads to a primary coolant volume contraction, i.e., an outsurge from 
the pressurizer volume.
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The control system’s actuators contained in the pressurizer itself 
enable the limitation of pressure fluctuations that result from these 
operation conditions. In this regard, activating sprayers will inject 
subcooled water into the steam head, promoting vapour condensation 
and thereby increasing the available volume for primary coolant expan-
sion [2]. This will mitigate pressure rises during insurges. Conversely, 
during outsurges, pressure variations are limited by compensating for 
the liquid volume contraction through an increase in the volume oc-
cupied by the vapour region. To accomplish this, electrical heaters 
designed to facilitate bulk evaporation from the pressurizer’s liquid 
region are switched on. Ultimately, to control severe pressure spikes 
that would jeopardize the safe operation of the nuclear power plant, 
pressure relief valves and safety valves are deployed [3].

The importance of the pressurizer to assess the primary coolant dy-
namics both during normal operation and accidental conditions trans-
lates into the need to develop accurate dynamic models to be able to 
predict pressure fluctuations in different scenarios. Dynamic models 
can be employed for safety assessment studies, as well as for perfor-
mance assessment and control purposes [4]. In the first case, models 
aim to accurately represent the system’s behaviour during abnormal 
conditions, with the ultimate objective of analysing safety margins 
and capturing its response to different accidental transients. Given 
the need for a comprehensive representation, safety models commonly 
involve mathematical complexity to encompass all relevant phenomena 
and require substantial computational resources. In contrast, control-
oriented models rely on a simplified set of equations to efficiently 
evaluate the system’s response with different control strategies, such 
as those aimed at maintaining the pressure within the permitted range. 
These models focus on capturing the essential factors that affect system 
dynamics, while the phenomena covered by safety-oriented models 
would be cumbersome for this purpose.

Pressurizer models can be classified into two families: equilibrium 
and non-equilibrium models [4]. Equilibrium models assume that the 
pressurizer volume is occupied by a homogeneous, two-phase mixture. 
By foregoing extensive modelling of phenomena such as evaporation 
and condensation, this model achieves a significant simplification of 
the governing equations, resulting in the preferred choice for con-
trol purposes. Instead, safety-oriented models rely on non-equilibrium 
models that separately solve balance equations for the liquid and 
vapour phases, providing a more accurate description of the system’s 
physics but requiring higher computational resources. As an example, 
the RELAP5® code, developed by the Idaho National Laboratory for 
the U.S. Nuclear Regulatory Commission and employed for the best-
estimate simulation of light-water cooled reactors under accidental 
conditions, encompasses a non-equilibrium model divided into eight 
control volumes [5].

The aim of this work is to analyse different pressurizer models, ad-
dressing the main underlying assumptions, to achieve a well-balanced 
compromise between accuracy and computational efficiency that aligns 
with the requirements of the model. The non-equilibrium model pre-
sented in this work is based on the multi-region approach proposed 
by Zhong et al. [6], in which the vapour and liquid regions are 
further subdivided into a user defined number of control volumes. An 
alternative strategy can be found in the work by Redfield et al. [3], 
where the liquid and vapour volumes are considered as two closed 
systems separated by a moving interface. Moghanaki and Rahgoshay 
[7] also presented a two-region model and compared with a four-
region model and the RELAP5/MOD3 code. In their study, the authors 
highlighted the significant impact of thermal losses on pressurizer dy-
namics. Moreover, Wang et al. [8] proposed a mathematical description 
of a non-equilibrium, three-region model. This model was applied to 
the design of pressurizer pressure and water level controllers, with 
which robust performance was achieved for transient scenarios. Pini [2] 
conducted a comparative analysis of equilibrium and non-equilibrium 
models with different levels of discretization. The study was extended 
with the development of a control-oriented model utilizing multiple 
2 
control volumes [4]. It consists of three submodels, each assuming that 
the liquid and vapour regions are contained within a single, double, or 
triple volume. In the latter two submodels, the liquid region is further 
divided into additional control volumes defined by a fixed boundary, 
enabling the assessment of temperature distribution within the liquid. 
During the simulation, a global routine dynamically selects the most 
appropriate model based on the water level and the fluid’s thermody-
namic state. The findings of the study emphasized the importance of 
accounting for the axial temperature distribution to achieve a sufficient 
level of accuracy. In light of this outcome, it is expected that utilizing 
a multi-region model with a substantial number of control volumes 
discretizing the liquid regions will deliver the highest degree of fidelity.

This work aims to analyse and critically evaluate both model topolo-
gies and their underlying assumptions. The non-equilibrium model 
employs a multi-region approach, discretizing the liquid and vapour 
regions into a number of user-defined control volumes. In contrast, 
the equilibrium model prioritizes simplicity, aligning with the philos-
ophy of control-oriented models. Both models were developed using 
the object-oriented modelling language Modelica and implemented in 
the Dymola® simulation environment, with the objective to propose 
an open-source tool to analyse such systems, in contrast to the pre-
dominantly proprietary thermal-hydraulic system codes. To assess the 
models’ performance, simulation outcomes are compared to experimen-
tal data obtained from tests conducted at the Shippingport nuclear 
power plant. The configuration of the pressurizer in this facility, along 
with the corresponding control system, serves as the reference for this 
study. Additionally, a sensitivity analysis will be conducted to evaluate 
the impact of key modelling assumptions on the system’s response. 
One of the objectives of this work is to provide a pressurizer model 
that can be integrated into simulators of more complex integrated 
energy systems, also known as nuclear hybrid energy systems (NHES). 
In these systems, the nuclear reactor is tightly coupled with other 
energy sources, energy storage devices, and industrial processes driven 
by the thermal and electrical power produced by the reactor [9]. NHES 
are under investigation in several research initiatives, including the 
Euratom TANDEM project [10], which aims to build a comprehensive 
open-source Modelica library encompassing a wide range of hybrid 
system components and of a Small Modular Reactor (SMR) based on 
PWR technology [11]. As a result, this work aims at providing a suitable 
pressurizer model for this kind of application. Consequently, the pres-
surizer model is then tailored for a SMR design. Unlike conventional 
cylindrical pressurizers, the unique shape of the pressurizer in this 
reactor results in a different dynamic behaviour. Furthermore, various 
control strategies specific to this type of pressurizer will be examined 
to evaluate their effect on pressure fluctuations, in the case of both the 
Shippingport and SMR pressurizer configurations.

The present work is structured as follows: Section 2 aims at pro-
viding an overview of the equilibrium and non-equilibrium models, 
describing the main governing equations and the underlying assump-
tions. In Section 3, the proposed models will be validated by comparing 
the simulation outcomes with the data available from the experimental 
campaign performed at the Shippingport power plant. Lastly, Section 4 
delves into the pressurizer model of the SMR and into the design of 
control strategies for this system.

2. Models description

This section explores both equilibrium and non-equilibrium models, 
outlining their governing equations and key assumptions. For the non-
equilibrium model, a multi-region approach will be implemented, and 
further improvements will be made by relaxing some of the primary un-
derlying assumptions to assess their influence on the system’s dynamic 
behaviour.
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Fig. 1. Schematic of the equilibrium pressurizer model.

2.1. Equilibrium model

The equilibrium model is characterized by the absence of distinction 
between the liquid and vapour phases within the pressurizer volume. 
As a result, energy and mass balance equations are applied to a ho-
mogeneous two-phase mixture. In contrast to non-equilibrium models, 
the phases are in thermal equilibrium, implying that it is not possible 
to retrieve the temperature distribution within the pressurizer. The 
simplicity of this model allows for efficient computation of the dynamic 
behaviour of the pressurizer; however, the assumption of equilibrium 
between phases fails to capture the dynamics in fast transients, as in 
accidental scenarios [6].

The mass and energy balance equations for the homogeneous mix-
ture are solved in the following form: 

𝑉
𝑑𝜌
𝑑𝑡

= 𝑚̇𝑠𝑢𝑟𝑔𝑒 + 𝑚̇𝑠𝑝 + 𝑚̇𝑣𝑙𝑣 (1)

𝑑 (𝑉 (𝜌ℎ − 𝑝))
𝑑𝑡

= 𝑚̇𝑠𝑢𝑟𝑔𝑒ℎ𝑠𝑢𝑟𝑔𝑒 + 𝑚̇𝑠𝑝ℎ𝑠𝑝 + 𝑚̇𝑣𝑙𝑣ℎ + 𝑄̇𝐻 (2)

where 𝑄̇𝐻  is the heater power, 𝑚̇𝑠𝑢𝑟𝑔𝑒, 𝑚̇𝑠𝑝 and 𝑚̇𝑣𝑙𝑣 are the flow rates 
exchanged at the interfaces of the pressurizer volume, namely the 
surge line, the sprayers, and the relief and safety valves, as shown 
in the schematic in Fig.  1. Moreover, ℎ describes the enthalpy in 
the pressurizer, while 𝑉 , 𝜌, and 𝑝 the volume, density, and pressure, 
respectively.

To maintain consistency with the equilibrium model’s philosophy, 
which assumes that the mixture in the pressurizer volume remains in 
saturation conditions, the enthalpy of the fluid flowing through the 
surge line, denoted as ℎ𝑠𝑢𝑟𝑔𝑒, is considered to be the saturated liquid 
enthalpy [2]. However, in reality, the thermodynamic state of the fluid 
entering the surge line from the hot leg, where the coolant is subcooled, 
determines the actual ℎ𝑠𝑢𝑟𝑔𝑒 value. Conversely, the enthalpy of the fluid 
leaving the pressurizer during outsurges will be determined by the state 
of the fluid within the pressurizer itself: 

ℎ𝑠𝑢𝑟𝑔𝑒 =
{

ℎ𝑠𝑙  for 𝑚̇𝑠𝑢𝑟𝑔𝑒 ≥ 0
ℎ  for 𝑚̇𝑠𝑢𝑟𝑔𝑒 < 0

(3)

It is worth emphasizing that this assumption leads to the violation 
of the energy conservation law, but it is accepted for the scope of the 
study due to the limited contribution to the global energy balance when 
considering the integration of the model with the whole primary loop 
simulator.
3 
Fig. 2. Schematic of the non-equilibrium pressurizer model.

2.2. Non-equilibrium model

In a non-equilibrium model, separate balance equations for the liq-
uid and vapour phases are implemented. This allows for the relaxation 
of the hypothesis of thermal equilibrium, enabling the consideration of 
the subcooled state of the liquid entering the pressurizer volume from 
the hot leg. Furthermore, this model allows for the incorporation of 
interactions between the phases and phenomena such as evaporation 
and condensation.

The reference model [6] relies on several simplifying assumptions 
that will be gradually relaxed in the sensitivity analyses proposed in 
Section 3.2 to assess their impact on the dynamic response of the 
system. In the proposed model, the liquid region is subdivided in 
𝑁𝑙 − 1 control volumes, whereas 𝑁𝑣 − 1 volumes are considered for 
the vapour phase, each at uniform specific enthalpy and pressure. As 
for the former, the first control volume is assumed to be connected 
to the surge line, while the first vapour volume represents the control 
volume in the upper vapour region. Consequently, control volumes 𝑁𝑙
and 𝑁𝑣 are located at the interface between the phases, as depicted 
in Fig.  2. These control volumes are assumed to belong to a region in 
saturated conditions, so the liquid control volume will be considered in 
saturated liquid conditions and the vapour control volume in saturated 
steam conditions. It is important to note that all control volumes within 
the liquid and vapour regions share the same volumes, which may 
vary during transients due to changes in the fluid state within the 
pressurizer.

The main hypotheses that were taken into account for the model’s 
development are the following [6]: each control volume is assumed 
to have the same cross-sectional area, aligning with the cylindrical 
geometry of pressurizers in conventional PWRs. For the case of SMR 
pressurizers, which will be addressed in Section 4, this assumption no 
longer holds due to their characteristic hemispherical shape, resulting 
in a variation of the cross-sectional area with the height of the pres-
surizer. As for the models describing evaporation and condensation, 
bubble rise and condensate fall are assumed to drive the mass exchange 
at the liquid–vapour interface without accounting for delay times. 
Pressure control is performed with the injection of subcooled water 
through sprayers and the activation of electrical heaters. The sprayed 
subcooled water, together with the condensate forming around these 
droplets, is assumed to instantly reach the liquid–vapour interface as 
saturated liquid. In the model proposed by Zhong et al. [6], heat 
transfer to the environment, and thus wall condensation, is neglected. 
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Furthermore, the convective heat transfer contribution at the interface 
between control volumes has not been considered.

For the control volumes in the liquid region, i.e., 𝑖 = 1, 2,… , 𝑁𝑙 −1, 
the mass and energy balance equations can be formulated as follows: 
𝑑
(

𝜌(𝑖)𝑙 𝑉 (𝑖)
𝑙

)

𝑑𝑡
= 𝑚̇(𝑖−1)

𝑙 − 𝑚̇(𝑖)
𝑙 − 𝑚̇(𝑖)

𝑏𝑒 (4)

𝑑
(

𝑉 (𝑖)
𝑙

(

𝜌(𝑖)𝑙 ℎ(𝑖)𝑙 − 𝑝
))

𝑑𝑡
= 𝑚̇(𝑖−1)

𝑙 ℎ̃𝑖(𝑖−1)𝑙 − 𝑚̇(𝑖)
𝑙 ℎ̃(𝑖)𝑙 − 𝑚̇(𝑖)

𝑏𝑒ℎ𝑠𝑣

+ 𝑄̇(𝑖)
𝐻 + 𝑄̇(𝑖−1)

𝑡𝑐 − 𝑄̇(𝑖)
𝑡𝑐

(5)

where 𝑚̇(𝑖)
𝑙  and ℎ̃(𝑖)𝑙  are the flow rate and specific enthalpy exchanged 

at the interface of the control volume, specifically between control 
volumes 𝑖 and 𝑖 + 1. According to the direction of the flow, the 
transported enthalpy can be computed as: 

ℎ̃(𝑖)𝑙 =

{

ℎ(𝑖)𝑙  for 𝑚̇(𝑖)
𝑙 ≥ 0

ℎ(𝑖+1)𝑙  for 𝑚̇(𝑖)
𝑙 < 0

(6)

For the first control volume in the liquid region, 𝑚̇(0)
𝑙  will be given by 

the flow through the surge line and, in case of insurge, ℎ̃(0)𝑙  by the hot 
leg’s enthalpy. As for the conductive heat transfer, the thermal power 
exchanged between control volumes 𝑄̇𝑡𝑐 is computed Fourier’s law of 
thermal conduction.

The bulk evaporation flow rate, 𝑚̇(𝑖)
𝑏𝑒 , will be computed as proposed 

by Zhong et al. [6], exploiting the relation with the bubble rise velocity 
𝑣𝑏𝑟: 
𝑚̇(𝑖)
𝑏𝑒 = 𝜌𝑠𝑣𝛼

(𝑖)
𝑙 𝐴𝑣(𝑖)𝑏𝑟 (7)

where 𝐴 is the cross-sectional area, 𝜌𝑠𝑣 is the saturated vapour density, 
𝛼(𝑖)𝑙  is the void fraction in the 𝑖-th liquid control volume and 𝑣𝑏𝑟 is 
computed with a dedicated correlation [6].

Similar considerations are valid for the governing equations in the 
vapour region. As displayed in the mass and energy balances in Eqs. (8) 
and (9), respectively, two terms related to condensation are present: 
𝑑
(

𝜌(𝑖)𝑣 𝑉 (𝑖)
𝑣

)

𝑑𝑡
= 𝑚̇(𝑖−1)

𝑣 − 𝑚̇(𝑖)
𝑣 − 𝑚̇(𝑖)

𝑏𝑐 − 𝑚̇(𝑖)
𝑠𝑐 (8)

𝑑
(

𝑉 (𝑖)
𝑣

(

𝜌(𝑖)𝑣 ℎ(𝑖)𝑣 − 𝑝
))

𝑑𝑡
= 𝑚̇(𝑖−1)

𝑣 ℎ̃(𝑖−1)𝑣 − 𝑚̇(𝑖)
𝑣 ℎ̃(𝑖)𝑣 − 𝑚̇(𝑖)

𝑏𝑐ℎ𝑠𝑙

− 𝑚̇(𝑖)
𝑠𝑐ℎ𝑠𝑣 + 𝑄̇(𝑖−1)

𝑡𝑐 − 𝑄̇(𝑖)
𝑡𝑐

(9)

Similarly to the bulk evaporation case, the bulk condensation flow rate 
can be determined with models exploiting the condensate fall veloc-
ity [6]. The term 𝑚̇(𝑖)

𝑠𝑐  is related to the vapour condensation triggered by 
the injection of subcooled water through the sprayers in the 𝑖-th vapour 
control volume. In the overall vapour region, the sprayer’s condensate 
will be proportional to the injected droplet flow rate: 

𝑚̇𝑡𝑜𝑡
𝑠𝑐 = 𝑚̇𝑠𝑝

ℎ𝑠𝑙 − ℎ𝑠𝑝
ℎ𝑠𝑣 − ℎ𝑠𝑙

(10)

where 𝑚̇𝑠𝑝 and ℎ𝑠𝑝 are the sprayer’s flow rate and enthalpy, respectively. 
The contribution of this condensation process is obtained by uniformly 
distributing 𝑚̇𝑡𝑜𝑡

𝑠𝑐  to each control volume. An additional term in the 
mass and energy balances of the first vapour control volume must 
be included to account for the connection with the relief and safety 
valves. In this case, the mass flow rate will be determined by the valve’s 
opening, and its energy content will be determined by ℎ(1)𝑣 .

As aforementioned, the upper liquid and the lower vapour control 
volume are combined into a third region, referred to as the saturated re-
gion. This region encompasses the liquid–vapour interface and assumes 
equilibrium between the two volumes, so common mass and energy 
balance equations are applied: 

𝑑
(

𝜌𝑠𝑙𝑉
(

𝑁𝑙
)

𝑙 + 𝜌𝑠𝑣𝑉
(

𝑁𝑣
)

𝑣

)

𝑑𝑡
= 𝑚̇

(

𝑁𝑙−1
)

𝑙 + 𝑚̇
(

𝑁𝑣−1
)

𝑣 + 𝑚̇𝑡𝑜𝑡
𝑏𝑒

𝑡𝑜𝑡 𝑡𝑜𝑡

(11)
+ 𝑚̇𝑏𝑐 + 𝑚̇𝑠𝑐 + 𝑚̇𝑠𝑝

4 
Fig. 3. Blocks and control signals in the Modelica model.

𝑑
(

𝑉
(

𝑁𝑙
)

𝑙
(

𝜌𝑠𝑙ℎ𝑠𝑙 − 𝑝
)

+ 𝑉
(

𝑁𝑣
)

𝑣
(

𝜌𝑠𝑣ℎ𝑠𝑣 − 𝑝
)

)

𝑑𝑡

= 𝑚̇
(

𝑁𝑙−1
)

𝑙 ℎ̃
(

𝑁𝑙−1
)

𝑙 + 𝑚̇
(

𝑁𝑣−1
)

𝑣 ℎ̃
(

𝑁𝑣−1
)

𝑣 + 𝑚̇𝑡𝑜𝑡
𝑏𝑒 ℎ𝑠𝑣 + 𝑚̇𝑡𝑜𝑡

𝑏𝑐 ℎ𝑠𝑙

+
(

𝑚̇𝑠𝑝 + 𝑚̇𝑡𝑜𝑡
𝑠𝑐
)

ℎ𝑠𝑙 + 𝑄̇
(

𝑁𝑙−1
)

𝑡𝑐 + 𝑄̇
(

𝑁𝑣−1
)

𝑡𝑐

(12)

2.3. Control strategy

Several control strategies can be employed to regulate the injection 
of sprayers and activation of heaters based on the deviation of pressure 
from its nominal level.

The control variables in the system are the mass flow rate of the 
sprayers and the power of the heaters. The water injected by the 
sprayers is extracted from the cold leg of the primary loop, and its 
subcooling level is determined by the thermodynamic state at that 
specific point. The heaters can be either proportional or backup heaters, 
and their activation is based on different pressure setpoints. The power 
of the proportional heater is adjusted according to the deviation of the 
system pressure from its nominal value. If the pressure drops below a 
certain threshold, indicating that the proportional heater alone cannot 
raise the pressure to the desired setpoint, the backup heater is activated 
to provide additional heat input and restore the pressure to the allowed 
operational range. On the other hand, if the pressure exceeds a specified 
safety threshold, relief valves are opened to rapidly discharge steam 
from the pressurizer and reduce the pressure in the primary loop.

2.4. Model implementation in Modelica

Fig.  3 illustrates the dynamic model of the pressurizer developed 
in the Modelica language. Modelica, known for its object-oriented 
features, is considered well-suited for simulating complex engineer-
ing systems [12]. In this study, the models were implemented in 
the commercially available Dymola® (Dynamic Modelling Laboratory) 
simulation environment. The Modelica models rely on the physical 
descriptions outlined in the previous sections, based on mass and 
energy balance equations. Typically, the Modelica language is adopted 
for control-oriented purposes, while thermal-hydraulic system codes 
are commonly chosen for safety assessments [13]. Nevertheless, in this 
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work, the non-equilibrium model is developed in Modelica to explore 
the potential of employing a high-fidelity model for control applications 
and to compare its prediction accuracy with that of the equilibrium 
model. Previous studies have adopted the Modelica language to model 
the pressurizer of the Shippingport reactor [2] and the IRIS SMR [13]. 
Additionally, open-source libraries such as TRANSFORM [14] and Ther-
moSysPro [15], developed respectively by Oak Ridge National Lab-
oratory and EDF, encompass pressurizer models based on different 
modelling strategies, including non-equilibrium approaches.

The language’s acausality, combined with its object-oriented fea-
tures such as encapsulation and abstraction, provides a high degree of 
modelling flexibility. Equations can be expressed without manipulation 
and without the need to define inputs beforehand, enabling the same 
model to be used with various boundary conditions. In compliance with 
the object-oriented modelling philosophy, the stand-alone pressurizer 
model in Fig.  3 comprises several blocks. An advantageous feature of 
the Modelica language is the ability to reuse components from existing 
libraries. In this work, components from the ThermoPower library’s
Water package [16] and the Modelica Standard Library were utilized. 
As for the pressurizer itself, a dedicated model incorporating the equa-
tions presented for the equilibrium and non-equilibrium approaches 
has been developed. Alongside the main model, there is an additional 
block representing the control system, which will be discussed in the 
following sections. Furthermore, a valve is included in the scheme, 
connected to a sink that controls the pressure at the valve’s outlet, 
serving as a representation of the relief and safety valve systems. To 
assess the pressurizer stand-alone model response, an ideal mass flow 
source is connected to its surge line. These supplementary components, 
namely the valve, sink, and source, stem from the ThermoPower library. 
According to Fig.  3, the following interfaces can be identified in the 
pressurizer model:

• Inputs: the sprayer’s mass flow rate and the heater’s electrical 
power are considered inputs to the model.

• Outputs: the model outputs the system’s pressure, which is com-
pared to predetermined setpoints in the control system block to 
activate the control devices.

• Fluid connectors: The pressurizer model incorporates two
Flanges components from the ThermoPower library. These con-
nectors represent the flow through the surge line and towards the 
relief valves, facilitating the transfer of fluid properties, including 
pressure, enthalpy, and mass flow rate.

It is worth noting that, in the ideal mass flow source used to 
control the mass flow rate through the surge line, the specific enthalpy 
remains constant throughout the entire transient; however, in reality, 
the inflow enthalpy will vary based on temperature changes resulting 
from the loss-of-load transient in the hot leg. Thanks to the principles 
of object-oriented modelling, the pressurizer model can be coupled 
with the overall primary circuit model using the same interface. This 
enables the inflow enthalpy to be determined by the hot leg conditions 
established during the simulation rather than being imposed as a fixed 
parameter. For examples with the pressurizer models integrated within 
the entire primary loop, readers can refer to further studies on system-
level dynamic modelling [11]. As this work focuses specifically on the 
pressurizer component, a constant inlet enthalpy – based on the value 
proposed in previous studies on the Shippingport pressurizer [4,6] – is 
assumed instead of simulating the entire primary loop.

3. Model validation and sensitivity analysis

The simulation outcomes obtained with the proposed models are 
compared with the experimental data collected during loss-of-load tran-
sients performed at the Shippingport nuclear power plant in 1967 [3].

Loss-of-load transients are triggered by an abrupt drop in the flow 
on the secondary side of the steam generator. As a result, the heat 
5 
Table 1
Main parameters of the Shippingport pressurizer [4].
 Parameter Value Unit 
 Diameter 1.37 m  
 Height 5.1 m  
 Volume 7.52 m3  
 Surge line inlet temperature 282 ◦C  
 Spray temperature 260 ◦C  
 Initial pressure 140.97 bar  
 Initial liquid level 2.482 m  

Fig. 4. Mass flow rate through the surge line in the 74 MW and 105 MW tran-
sients [17].

removal capability of the heat exchanger is reduced. For this reason, 
together with the fact that the thermal power production in the core 
remains initially unchanged, the temperature of the primary coolant 
increases, leading to thermal expansion. The increasing coolant volume 
is accommodated in the pressurizer, i.e., an insurge occurs. After a time 
delay determined by the coolant’s travel time through the primary loop, 
the heated coolant re-enters the core. Its higher temperature translates 
into a negative reactivity insertion in the core through feedback mech-
anisms, which in turn causes the reactor’s power to decrease. After 
experiencing a power undershoot due to the strong feedback effect, the 
reactor’s power eventually stabilizes at a level that corresponds to the 
heat removal capability.

Several loss-of-load transient experiments were performed at Ship-
pingport’s nuclear power plant. In the two experiments considered in 
this study, the loss-of-load transient starts at different power levels, 
namely 74 MWe and 105 MWe. The discharge of steam flow rate 
on the secondary side occurs through steam relief valves in multiple 
steps, whose number increases if the loss-of-load starts at higher power 
conditions. The sequential steam relief ensures that the safety of the 
reactor is not jeopardized by the sudden drop in flow rate. The step-
wise activation of the steam relief system will have an impact on the 
temperature variation of the primary coolant, resulting in a series of in- 
and outsurges. Fig.  4 displays the mass flow rate flowing through the 
surge line as a result of the loss-of-load transients initiated at powers of 
74 and 105 MW. These profiles will be used as input in the mass flow 
source mentioned in the previous section to test the pressure predicted 
by the pressurizer models.

The models rely on the input parameters specified for the Shipping-
port pressurizer, which are listed in Table  1. These parameters include 
the pressurizer geometry, initial pressure and liquid level, as well as 
constant values for the sprayers and surge line’s inflow temperatures.

The control system of the Shippingport pressurizer consists of heater 
banks, sprayers, and safety valves. Specifically, only the two heaters 
driven by the pressure deviation signal were considered, while the third 
heater, with lower rated power, is not included since its activation 
is triggered by deviations in liquid temperature. Table  2 provides a 
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Fig. 5. Comparison between equilibrium and non-equilibrium models, experimental data, and RELAP5 model.
Source: From [4].
Table 2
Control parameters of the Shippingport pressurizer [3].
 Control system Parameter Value Unit 
 
Sprayers

Mass flow rate 1.91 kg/s 
 Turn-on setpoint 142.7 bar  
 Turn-off setpoint 139.6 bar  
 
Heater bank 1

Rated power 80 kW  
 Turn-on setpoint 136.5 bar  
 Turn-off setpoint 137.9 bar  
 
Heater bank 2

Rated power 250 kW  
 Turn-on setpoint 133.4 bar  
 Turn-off setpoint 138.9 bar  

summary of the key characteristics of these heater banks and the spray 
control system. In this analysis, the temperature-driven heaters were 
not taken into account due to their inconsistency with the equilibrium 
model’s philosophy. This model enforces thermal equilibrium, making 
the temperature output unreliable for the system and thus leading to 
a biassed activation of the third heater bank. Although the relief valve 
control was included in the model, it was not actuated due to the lack of 
information about this control system and the limited range of pressure 
fluctuations observed in the considered transients.

3.1. Model validation

The response in terms of pressure variation for the various transients 
is shown in Fig.  5. In this figure, the reference models described in the 
previous sections are compared with the experimental data collected 
for the Shippingport pressurizer together with the RELAP5 simulation 
outcomes proposed by Pini et al. [4], based on the same transient simu-
lations presented in this work. As for the latter model, the results were 
included to have a comparison between the Modelica model, represent-
ing an open-source modelling language, and thermal-hydraulic codes, 
despite the very different nature and scope of the two. The analysis 
6 
will then focus on refining the non-equilibrium model’s assumptions to 
improve the trade-off between accuracy and computational efficiency, 
addressing the hypotheses regarding discretization, uniform pressure 
distribution, axial heat conduction, and thermal losses.

The simulation outcomes presented in Fig.  5 highlight the lower 
prediction capability of the equilibrium model compared to the non-
equilibrium model for both the 74 MW and 105 MW transients. A 
quantitative estimation of the error between the profiles is presented 
in Table  3, where the root mean squared error (RMSE) between the 
Modelica simulations and both the experimental measurements and the 
RELAP simulation is reported. The RMSE, computed with respect to the 
experimental data and the points obtained from the RELAP simulation 
at the same time instances, is given by the following equation: 

RMSE =

√

√

√

√

1
𝑛

𝑛
∑

𝑖=1

(

𝑥𝑖 − 𝑥̂𝑖
)2 (13)

where 𝑛 is the number of experimental measurements, 𝑥̂𝑖 represents 
either the experimental data points or the corresponding RELAP simu-
lation values, and 𝑥𝑖 is derived from the Modelica simulations. Based 
on this indicator, the non-equilibrium model shows a better agree-
ment with both the experimental data and the RELAP outcomes in 
each transient scenario. Particularly, significant differences between 
the models can be observed during mass flow rate insurges. This 
discrepancy can be attributed to the simplifying assumption made 
by the equilibrium model, which assumes that the flow enters as 
saturated liquid to maintain thermal equilibrium within the pressur-
izer volume. Consequently, the equilibrium model fails to provide 
an accurate representation of the inflow behaviour during insurges, 
leading to underestimated pressure peaks and delayed forecasts. On the 
contrary, during outsurges, where the outflow’s enthalpy is determined 
by the thermodynamic state within the pressurizer, this assumption 
does not significantly impact the results. As a result, the models exhibit 
reasonable agreement in the central part of the transient when outsurge 
conditions prevail. Nevertheless, it should be noted that despite its 
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Fig. 6. Temperature distribution in the pressurizer for the 74 MW transient.
Table 3
RMSE (in bar) with respect to the experimental data and the RELAP simulation.
 Reference Transient Equilibrium Non-equilibrium 
 Experimental 74 MW 2.43 1.72  
 105 MW 2.39 2.17  
 RELAP 74 MW 1.97 1.03  
 105 MW 2.75 1.59  

Table 4
Overview of computational performance of the models with respect to non-equilibrium 
reference case. All simulations were run on an Apple M1 Pro CPU (4 cores,
3.2 GHz).
 Model Case CPU time (s) Time ratio 
 

Non-equilibrium

Reference 15 1  
 𝑁𝐿 = 100 2160 144  
 𝑁𝑉 = 100 1660 111  
 Pressure distribution 74 5  
 Axial conduction 18 1.2  
 Wall condensation 32 2.1  
 Equilibrium model 0.3 0.02  

limitations, the equilibrium model remains capable of capturing the 
general pressure response to a loss-of-load transient. Moreover, due to 
its considerably higher computational efficiency compared to the non-
equilibrium model, it constitutes a valuable tool for control purposes. 
Indeed, the CPU time required for the transients depicted in Fig.  5 
for the equilibrium model significantly lower than that of simulations 
adopting the non-equilibrium approach, as reported in Table  4 and 
discussed in Section 3.2. Furthermore, in accordance with the object-
oriented approach, the equilibrium model can be effectively coupled 
with more intricate models, such as the overall primary circuit model 
and the aforementioned NHES simulators, playing an important role in 
system-level simulations.

In contrast, the non-equilibrium model offers the capability to cap-
ture the temperature within each user-defined control volume, provid-
ing insights into the temperature distribution within the pressurizer, as 
illustrated in Fig.  6. The results presented in the figure are extracted 
from the same simulation as Fig.  5, utilizing ten and five control 
volumes selected for the liquid and vapour regions, respectively. Given 
the lack of data on the initial temperature distribution, a uniform 
initial temperature equal to the saturation temperature was assumed, 
as proposed by Zhong et al. [6].

Especially for the 74 MW transient, distinct operational states of 
the control systems can be clearly identified. For instance, during the 
second peak of the transient around 500 s, two noticeable discontinu-
ities emerge, corresponding to the activation and deactivation of the 
sprayers. It is worth highlighting that, based on the selected control 
7 
strategy, the sprayers and heaters activation is governed solely by 
pressure deviations from the setpoints listed in Table  2. As a result, 
the operation of the various operations is determined by the difference 
between the pressure profiles shown in Fig.  5 and these setpoints. 
As displayed in Fig.  5, both heat banks are activated in the 74 MW 
transient, which contradicts the experimental observations. Based on 
the range of pressure variation in the experimental data, only the 80 kW 
heater bank should be triggered. Conversely, in the 105 MW transient, 
only the latter heat bank is activated, consistent with the experimental 
data.

The average temperature fluctuations in each control volume,
shown on the left-hand side of Fig.  6, primarily result from the flow 
direction through the surge line. During an insurge, subcooled wa-
ter enters the first liquid control volume, leading to a considerable 
temperature decrease. The following control volumes also experience 
some temperature influence from this flow, albeit to a lesser degree 
than the initial volume that directly interfaces with the surge line. In 
addition to the effect of water flow, the control volumes temperature 
is also affected by the control system intervention. Comparing the 
temperature profiles with the sprayers and heaters activation in Fig. 
5, it can be observed that temperature reductions occur when cold 
water is introduced into the pressurizer through the sprayers, while 
the thermal power supplied by the heaters during the central part of 
the transient contributes to temperature increases. On the right-hand 
side of the figure, a snapshot of the axial temperature distribution at the 
final instant of the testing transient is provided. It can be seen that only 
the very first liquid control volumes are in a subcooled state, whereas 
the others, together with the vapour control volumes, are in thermal 
equilibrium at the saturation temperature. This behaviour is consistent 
with the model assumptions, which specify that the control volumes at 
the interface (i.e., in the saturated region) are assumed to be at satu-
rated liquid and vapour conditions, while the liquid and vapour region 
volumes may also be in subcooled and superheated states, respectively. 
Despite the small number of volumes exhibiting a thermodynamic state 
different from saturation, their presence significantly influences the 
accuracy of the model, as demonstrated in Fig.  5.

3.2. Sensitivity analysis

This section aims at addressing and analysing the impact of the 
main parameters and key modelling assumptions employed in the non-
equilibrium model. Specifically, the investigation focuses on the impact 
of discretization, non-uniform pressure distribution, heat conduction 
between control volumes, and wall condensation on the model’s accu-
racy. Only the results for the 74 MW transient are presented in this 
section, as the conclusions drawn from the 105 MW transient yield 
comparable outcomes.
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Fig. 7. Sensitivity on the discretization.
Fig. 8. Impact of non-uniform pressure distribution and axial conduction.
Firstly, a sensitivity analysis is performed to examine the impact of 
the number of discretization volumes. The analysis, depicted in Fig.  7, 
reveals that increasing the number of liquid control volumes can have 
a significant impact on the model’s prediction. The solid line in the 
graph represents the reference configuration with 𝑁𝑙 = 10 and 𝑁𝑣 = 5. 
Notably, adopting 50 or 100 liquid control volumes significantly im-
proves the agreement with experimental data during the central part of 
the transient. Consequently, during this time period, the second heater 
bank remains inactive, aligning with the observed behaviour in the 
experiments. Conversely, varying 𝑁𝑣 has no significant impact on the 
model’s predictions. Therefore, to optimize computational resources, 
the simulations presented in the remainder of this study maintain a 
value of 5 control volumes for 𝑁𝑣. However, even a lower number of 
volumes in the latter region could be used.

The impact of uniform axial pressure distribution and conductive 
heat transfer is examined next. In the original model [6], all control 
volumes were assumed to have the same pressure. However, in this 
study, the assumption is relaxed to investigate the effects of considering 
the pressure distribution according to Stevino’s law. The left-hand side 
of Fig.  8 shows the resulting axial pressure distribution at the end of 
the 74 MW transient, with the highest pressure observed in the first 
liquid control volume due to the weight of the upper control volumes. 
Conversely, the pressure variation in the steam head is significantly 
lower due to the lower density. Overall, it can be concluded that the 
small pressure discrepancy, in the order of 0.2 bar as depicted in Fig. 
8, has a negligible effect on the system’s overall response. Considering 
the additional computational burden associated with accounting for the 
pressure interdependence between control volumes, the assumption of 
uniform pressure in the pressurizer volume is regarded as valid.
8 
The same strategy is employed to investigate the influence of axial 
heat conduction on pressure variation during the transient. As men-
tioned in the non-equilibrium model description, the heat transfer 
between control volumes is determined by Fourier’s law of thermal 
conduction, which is driven by the temperature difference between the 
control volumes. Referring to Fig.  6, it can be observed that a tem-
perature gradient exists primarily in the first liquid control volumes. 
Consequently, this results in the conductive heat distribution displayed 
on the right-hand side of Fig.  8, where the impact of this phenomenon 
is confined to the lower region of the pressurizer. Considering the 
relatively low thermal conductivity of water, which translates into 
low exchanged thermal power, and the limited extent of this effect, 
its contribution to the pressure profile and to the temperature distri-
bution over time are negligible. Therefore, this phenomenon can be 
disregarded to enhance the computational efficiency of the model.

A notable physical phenomenon that has been disregarded so far 
is heat dissipation to the environment, which results in an additional 
form of condensation known as wall condensation. In the model pro-
posed in the present work, the thermal power exchanged with the 
environment is divided into two components: 𝑄̇𝑖𝑛, representing thermal 
power transferred from the inner pressurizer volume to the wall, and 
the thermal losses from the wall to the external environment, 𝑄̇𝑒𝑥. 
Under steady-state conditions, these contributions are equal. However, 
during transient conditions, they may differ due to the thermal inertia 
provided by the wall structure of each control volume: 

𝑉 (𝑖)𝜌 𝑐
𝑑𝑇 (𝑖)

𝑤 = 𝑄̇(𝑖) + 𝑄̇(𝑖) (14)
𝑤 𝑤 𝑝,𝑤 𝑑𝑡 𝑖𝑛 𝑒𝑥
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Fig. 9. Impact of thermal losses and heat transfer coefficients.
where 𝑄̇(𝑖)
𝑖𝑛  and 𝑄̇

(𝑖)
𝑒𝑥 can be determined by applying Newton’s law for 

convective heat transfer, which has the following general form: 
𝑄̇ = 𝛾𝐴𝛥𝑇 (15)

For 𝑄̇(𝑖)
𝑖𝑛 , the temperature difference 𝛥𝑇  is determined by subtracting 

the average control volume temperature from the inner wall surface 
temperature. As for the heat transfer to the environment, the tem-
perature difference is obtained using the external surface temperature 
and the outer temperature. Under normal conditions, the inner surface 
temperature is higher than the external one due to the insulating effect 
of the wall.

The heat transfer coefficient 𝛾 varies depending on the region asso-
ciated with each control volume. A constant heat transfer coefficient of 
100 W m−2 K−1 is assumed for both the liquid region-inner wall surface 
and the outer surface-environmental heat exchange [4]. In contrast, a 
physical model is employed to compute the heat transfer between the 
vapour region and the inner wall surface. This is necessary because the 
resulting thermal power influences the contribution of wall condensa-
tion, requiring a more accurate model in this region. Specifically, the 
heat transfer coefficient is computed using the correlation provided by 
Nusselt’s theory of condensation [18]: 

𝛾𝑣𝑤 = 0.943

[

𝑔𝜌𝑠𝑙
(

𝜌𝑠𝑙 − 𝜌𝑠𝑣
)

ℎ′𝑙𝑣𝐿
3
𝑤

𝑘𝑠𝑙𝜇𝑠𝑙
(

𝑇𝑠𝑎𝑡 − 𝑇𝑖𝑛
)

]
1
4

(16)

where 𝐿𝑤 is the characteristic length and ℎ′𝑙𝑣 = ℎ𝑙𝑣(1+0.68𝐽𝑎), with ℎ𝑙𝑣
being the latent heat of vaporization and Ja the Jacob number, given 
by 

𝐽𝑎 =
𝑐𝑝,𝑠𝑙

(

𝑇𝑠𝑎𝑡 − 𝑇𝑖𝑛
)

ℎ𝑙𝑣
(17)

In addition, the exchanged thermal powers will be related to the surface 
temperatures and the average control volume wall temperature, 𝑇 (𝑖)

𝑤 , 
through Fourier’s law of thermal conduction. To account for thermal 
losses, the energy balance equations presented in Section 2.2 have been 
revised to account for these contributions. In this context, the wall 
condensation resulting from the heat losses in the vapour region is 
estimated with the following relation: 

𝑚̇(𝑖)
𝑤𝑐 =

𝑄̇(𝑖)
𝑖𝑛

(

ℎ𝑠𝑣 − ℎ𝑠𝑙
) (18)

Fig.  9 illustrates the simulation outcomes obtained accounting for 
the latter phenomenon. Including the effects of wall condensation and 
heat losses from the liquid region leads to a significant underestimation 
of the predicted pressure compared to the experimental data. This dis-
crepancy is influenced by the uncertainties associated with the selected 
values for the heat transfer coefficients in the liquid region, namely 𝛾𝑙𝑤
and 𝛾 . To investigate this further, a sensitivity analysis was conducted, 
𝑒𝑥
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and the corresponding results are presented on the right-hand side of 
Fig.  9. In each case, the heat transfer coefficient 𝛾𝑣𝑤 is determined 
using the correlation presented in Eq.  (16). The sensitivity analysis 
demonstrates that reducing the heat transfer coefficients, particularly 
𝛾𝑒𝑥, which directly affects the thermal losses from the steam head and 
consequently reduces wall condensation, yields improved prediction 
accuracy for the model compared to lowering 𝛾𝑙𝑤. It is important 
to note that, apart from these parameters, the external temperature 
also influences thermal losses to the environment. In this study, an 
assumed external temperature of 25 ◦C was utilized, as the actual outer 
temperature of the Shippingport pressurizer was unavailable. However, 
it should be noted that higher external temperatures would result in 
decreased heat losses, consequently leading to less pressure underesti-
mation. This work does not include a sensitivity analysis on the external 
temperature, as its impact is expected to be in line with variations in 
the outer heat transfer coefficient. In summary, there are significant 
discrepancies between predicted and experimental values when wall 
condensation and heat losses are included in the model, despite the fact 
that these additions should improve the physical representativeness of 
the model. These phenomena have a substantial impact on the pressure 
profile, which emphasizes how important it is to account for them in 
a thorough pressurizer model. However, it is essential to select the 
proper parameters governing these processes in order to improve the 
accuracy of the model and obtain findings that are more in line with 
experimental data.

Fig.  10 shows a comparison between the evolution of the evapo-
ration and condensation contributions in the reference case and after 
activating the wall condensation assumption. Based on the various con-
densation and evaporation contributions presented in the second plot, 
it can be concluded that wall condensation plays a significant role com-
pared to other phenomena. Notably, wall condensation remains consis-
tently present without experiencing considerable variations throughout 
the entire transient. Additionally, the comparable magnitude of this 
contribution with other processes such as spray condensation indicates 
the importance of accounting for thermal losses. Moreover, spray con-
densation and bulk evaporation have a major impact throughout the 
transient. In particular, the high condensate mass flow rate shown 
in Fig.  10 resulting from sprayers injection at the beginning of the 
transient contributes to mitigate the pressure peak caused by the water 
insurge. As displayed in Fig.  7, the model is overestimating the pressure 
peak, likely due to the simplified approach employed to model spray 
condensation. In the wall condensation case, the significant pressure 
underestimation observed in Fig.  9 translates into a reduction in water 
injection through sprayers, which are not activated during the second 
part of the transient. As shown in the left-hand plot of Fig.  10, which 
depicts the normalized evaporation and condensation contributions at 
each axial node, it is assumed that this condensation mass flow is 
uniformly distributed in the vapour volumes; however, in reality, it 
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Fig. 10. Evaporation and condensation contributions.
will be driven by the specific thermodynamic state within each control 
volume. In contrast, the evaporation contribution intensifies near to 
the liquid–vapour interface, where the liquid conditions approach the 
saturated liquid state. On the one hand, condensation reduces the 
volume fraction occupied by the steam, thereby reducing pressure due 
to the higher density of the liquid phase. On the other hand, the steam 
generation through evaporation contributes to increasing the vapour 
volume and thus the pressurizer pressure.

In conclusion, the analysed assumptions, including the degree of 
discretization, uniform pressure, axial conduction, and thermal losses, 
were incorporated into the Modelica framework using dedicated flags 
that allow users to selectively include or exclude the various contri-
butions to the governing equations as required. Although considering 
thermal losses provides a more accurate representation of the system’s 
physics, the modelling assumptions employed in this study do not 
lead to an improvement in prediction accuracy. However, it is worth 
noting that the prediction accuracy could potentially be enhanced 
by determining the complete set of heat transfer coefficients using 
physics-based correlations, similar to the approach employed for 𝛾𝑣𝑤, 
rather than relying on arbitrary constant parameters. The considered 
modelling assumptions affect not only the pressure dynamics, but also 
on the computational resources required for the simulations. Table  4 
summarizes the simulation time for the 74 MW transient in various 
model setups. The time ratio indicator is used to compare the com-
putational time of each simulation presented in the sensitivity analysis 
and obtained with the equilibrium model with respect to the reference 
non-equilibrium model. The results show that increasing the number of 
discretization volume has the largest impact on the computational bur-
den, especially in the case of an increase in liquid volumes. Accounting 
for the other assumptions addressed in this section, namely pressure 
distribution, axial conduction, and wall condensation, also increases 
the computational burden due to the higher degree of interactions be-
tween control volumes. Overall, the equilibrium modes exhibits notably 
better computational performance compared to the non-equilibrium, as 
mentioned in the previous section.

4. SMR pressurizer model

Despite sharing the same working principles, the pressurizer of a 
SMR exhibits significant differences compared to that of a conventional 
reactor. SMRs are seen as a game-changer in the nuclear industry, 
mainly thanks to their modularity, enhanced safety through passive 
safety systems, and potential economic competitiveness with other 
energy sources [19]. Moreover, their smaller sizes makes them par-
ticularly well-suited to be integrated into NHES, as it allows them 
to be located closer to industrial processes [9]. As of today, a large 
variety of SMRs are under development, based on both conventional 
and Generation IV technologies. Within the former SMR family, light-
water cooled SMRs (LW-SMR) can adopt the same design philosophy 
as PWRs. However, in these systems the whole primary circuit, includ-
ing the pressurizer, can integrated within the reactor pressure vessel 
(RPV) [19]. In this specific type of SMR topology, the pressurizer is 
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Table 5
Shippingport and E-SMR pressurizer parameters.
 Parameter Shippingport E-SMR Unit  
 Rated power 150 170 MWe 
 Volume 7.52 16.2 m3  
 External surface area 21.9 25.1 m2  

positioned at the uppermost part of the reactor, resulting in a hemi-
spherical shape of the steam head. Several studies have developed 
a dynamic model for SMRs that aligns, to varying degrees, with the 
modelling strategy employed for conventional pressurizers [20–23]. For 
example, investigations conducted on the pressurizer of IRIS (Inter-
national Reactor Innovative and Secure) [21–23] present a dynamic 
model that is specifically tailored to suit the characteristics of this re-
actor. Notably, due to the high volume of the steam head, the inclusion 
of sprayers to limit pressure rises is not foreseen, as the larger volume 
is assumed to be capable of accommodating insurges with minimal 
pressure variations [21].

The focus of this work centres around the reference SMR design de-
veloped in the framework of the Euratom-funded ELSMOR project [24], 
in which the design features of a prototypical LW-SMR, referred to 
as European SMR (E-SMR), are presented. Inspired by existing LW-
SMR concepts, the E-SMR design is characteristed by a comprehensive 
database collecting primary loop parameters, including the pressurizer 
geometry, developed as part of the project [25]. As for other LW-SMRs, 
the pressurizer in this architecture is positioned in the upper part of the 
reactor. From a geometrical standpoint, the pressurizer features a lower 
cylindrical region and an upper hemispherical steam head. As a result 
of the integration of the pressurizer volume into the RPV, the pressur-
izer diameter coincides with the overall RPV diameter, i.e., 3.65 m. 
Meanwhile, the heights of the cylindrical and hemispherical regions are 
assumed to be 1 m each.

As depicted in Table  5, despite the size of the E-SMR is compa-
rable to the one of the Shippingport reactor with a rated power of 
170 MWe and 150 MWe [26], respectively, the pressurizer volume is 
more than the double in the case of the SMR. This translates into a 
higher capacity in accommodating flows through the surge line limiting 
pressure fluctuations, as in the case of the IRIS reactor. Nevertheless, 
for the E-SMR, the use of sprayers for control purposes is still accounted 
for. In addition, the analysis considers a rescaled configuration of the 
pressurizer volume, which has been adjusted to match the volume of 
the Shippingport pressurizer. The purpose of this rescaling is to assess 
the impact of the hemispherical shape on pressure dynamics while 
keeping the overall volume unchanged. The rescaled configuration is 
achieved by maintaining the same diameter-to-height ratios as the E-
SMR pressurizer. A schematic of the considered shape, together with 
the discretization scheme adopted for the non-equilibrium model, is 
shown in Fig.  11.

The dynamic model of the SMR pressurizer is tested by imposing 
the same mass flow rates, introduced in Fig.  4, through the surge 
line. Also in this case, only the results for the 74 MW transient are 
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Fig. 11. Schematic of the SMR non-equilibrium pressurizer model.

Fig. 12. Impact of SMR volume on pressure transient.

presented. The simulation outcomes obtained for the SMR pressurizer 
models with different volumes are presented in Fig.  12. When consid-
ering the equivalent pressurizer volume, denoted as 𝑉𝑐𝑦𝑙 for the SMR 
configuration, both the equilibrium and non-equilibrium models yield 
dynamics that agree closely with the results obtained for the cylindrical 
geometry. There are minor discrepancies, particularly in the case of 
the non-equilibrium model, which can be attributed to the shape of 
the pressurizer. In this context, the SMR case consistently exhibits 
higher pressures compared to the cylindrical case. This discrepancy 
arises from the smaller surface area of the SMR pressurizer, leading to 
lower thermal losses and a less significant pressure decrease caused by 
wall condensation. Conversely, when employing the actual pressurizer 
volume of 16.2 m3, a notable reduction in pressure fluctuations is 
observed. This can be primarily attributed to the increased available 
volume, which allows for better accommodation of the incoming flow 
rate.

In the context of the ELSMOR project, there is a lack of specific 
guidance regarding the control system to be employed for pressure 
regulation in the pressurizer. This paper aims to address this aspect 
by comparing the logical control strategy adopted in the Shippingport 
pressurizer with an alternative approach involving adjustable heater 
power and sprayer flow rate [8,27]. As depicted in the schematic in 
Fig.  13, the proposed control strategy modulates the power of the 
proportional heater and the flow rate of the sprayers based on the 
deviation of pressure from the nominal setpoint. Similar to the logical 
approach, an on-off strategy is employed for the backup heater and 
relief valves, although the latter are neglected at this stage of the 
analysis. Furthermore, the investigation explores the potential effects 
of utilizing higher maximum values for the sprayer flow rate and heater 
power compared to those employed in the Shippingport system.

The simulation results, illustrated in Fig.  14, showcase the effects of 
implementing the alternative control paradigm in the Modelica model. 
This analysis aims at evaluating the impact of different control systems 
11 
Fig. 13. Linear control strategy adopted for the SMR.

on the response of the SMR pressurizer, using the actual high-volume 
configuration as a reference. Applying the logical control strategy of the 
Shippingport reactor, the sudden injection of sprayer droplets leads to a 
rapid pressure decrease. Together with the occurrence of an outsurge in 
the transient, this pressure drop cannot be effectively mitigated solely 
by activating the electrical heaters. This issue is attributed to the larger 
steam head volume, which requires the heaters to generate significant 
evaporation rates to achieve notable pressure increases. Introducing 
adjustable control devices and employing different pressure setpoints 
revealed to be advantageous for pressure control: by implementing the 
same heater power and sprayer flow rate values as in the Shippingport 
system, the system response (depicted by the solid red line in Fig.  14) 
exhibits significantly less variation compared to the nominal pressure, 
which corresponds to the initial pressure condition. This improvement 
can be attributed to the adjustable sprayer flow rate at the start 
of the transient, which prevents excessive spray condensation. As a 
result, pressure decreases more smoothly, even during outsurges. Fig. 
14 demonstrates that sprayer activation is only necessary during the 
initial transient. With a higher sprayer flow rate of 4.8 kg/s [8], the 
notable impact occurs at the beginning, where faster activation and 
increased sprayer injection limit the initial pressure peak compared 
to other profiles. Increasing the heater power offers a significant im-
provement in reducing pressure variations. Assuming a rated power 
of 240 kW for the proportional heater and 360 kW for the backup 
heater [8], higher power values contribute to maintaining stable pres-
sure, especially with the increased SMR pressurizer volume, as shown 
in Fig.  14. The heaters trigger enhanced steam formation through bulk 
evaporation, contributing to the pressurization of the primary coolant.

In conclusion, adopting a control strategy that goes beyond the 
logical approach by regulating heaters power and sprayers flow rate 
improves the performance of the pressure control scheme. Simulation 
results show that the logic approach leads to a maximal pressure 
excursion of about 7.5%, whereas the linear control could limit this 
deviation to approximately 5.5% and to 2.6% by increasing the heater’s 
power. For a SMR pressurizer with a higher steam head volume, the role 
of heaters becomes even more significant. However, it is important to 
note that these findings are subject to the limitations of the employed 
model and the assumptions made during testing. The uncertainties in 
the parameters for the thermal losses model, mentioned in Section 3.2, 
suggest that the proposed pressure profile may underestimate the actual 
system response. Additionally, different transient scenarios, such as 
those with predominant insurges, could yield different outcomes since 
the sprayers would play a crucial role. Nonetheless, the methodology 
and models presented in this work can be applied to test various 
transient scenarios and determine the optimal control scheme based on 
the system’s response.

5. Conclusions

This work presents two models, the equilibrium and non-equilibrium
models, for simulating the dynamic behaviour of a pressurizer in a 
nuclear reactor based on PWR technology. The models are designed to 
be employed in the dynamic model of the whole nuclear steam supply 
system, which can then be integrated into a comprehensive dynamic 
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Fig. 14. Comparison of different control systems.
simulator of a nuclear hybrid energy system to assess the system’s 
response in a wide range of scenarios. They have been implemented 
in the object-oriented modelling language Modelica, which proved 
to be well-suited for this application since it allows users to define 
the required degree of modelling detail and to effectively simulate 
the dynamic response of the system with different parameters and 
boundary conditions, e.g., in terms of surge line flow rate. The equi-
librium model offers high computational efficiency but low prediction 
accuracy, while the non-equilibrium model provides higher accuracy 
at a higher computational cost. For this reason, the equilibrium model 
represents a better choice for complex NHES simulators, where the 
computational burden is further increased by the dynamics of the 
interconnected subsystems. The proposed sensitivity analysis suggests 
that improving accuracy requires better discretization in the liquid 
region, while fewer control volumes in the vapour region can be 
selected. Moreover, neglecting second order phenomena like pressure 
distribution and conductive heat transfer between control volumes 
enhances simulation performance since it lowers the degree of in-
teractions between control volumes. Despite improving the physical 
representativeness of the system, the inclusion of thermal losses leads 
to an underestimation of the pressure compared to the reference model. 
In this regard, the dynamic response exhibited considerable sensitivity 
to the selected heat transfer coefficient values, indicating that more 
precise estimations for these parameters could improve the consistency 
with experimental measurements. Lastly, in the perspective of including 
the pressurizer models into NHES simulators, the analysis is extended 
to the pressurizer of a SMR and to the exploration of alternative control 
strategies, which demonstrate the importance of accounting for the 
significantly larger steam head volume typical of SMR pressurizers 
when sizing the control devices.

Future work should focus on enhancing the non-equilibrium model’s 
representation of thermal losses. Additionally, developing a method-
ology for determining the optimal control strategy for specific SMR 
designs, considering the allowable pressure variation range and recov-
ery time to the desired pressure level, is an essential aspect in the design 
phase of these advanced nuclear systems.
12 
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